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Abstract

Sensor fabrication for microrobots is challenging due to their small size and low mass. As a
potential solution, we present a technique for estimating the velocity of piezoelectric bending
bimorph actuators, a popular choice for driving such microscale devices, that requires simple
electronics and no additional mechanical components. Our approach relies on the insight that
motion of the actuators causes varying strains on the surface on the piezoelectric material, which
via the direct piezoelectric effect, results in a current proportional to the actuator velocity. We
propose that the actuator be electrically approximated as a parallel combination of a frequency
and voltage dependent resistor and capacitor, and a velocity proportional current source. We
develop an experimental procedure to measure these quantities, and are able to experimentally
determine the actuator tip velocity to within 10% accuracy over a range of voltages (25–200 V)
and frequencies (1–2000 Hz, well beyond actuator resonance). We successfully apply this
sensing methodology to two microrobots, the RoboBee and the Harvard Ambulatory
MicroRobot (HAMR), to estimate the wing and limb motion respectively. We further use sensor
feedback to close the loop on HAMR’s leg phase and obtain desired leg trajectories near
transmission resonance. The proposed sensor methodology is generic and can be applied to
piezoelectric actuators of different geometries and conﬁgurations for uses in microrobotic
applications.
Keywords: self sensing, piezoelectric actuator, microrobot, concomitant, resonance
(Some ﬁgures may appear in colour only in the online journal)
1. Introduction

for a microscale solution for accurately sensing the motion of
piezoelectric actuators driving these robots.
Signiﬁcant prior work on piezoelectric actuators for
microrobotic applications [16, 20–22] has focused on the
efﬁciency of power electronics with limited attention to
sensing. Despite the popularity of piezoelectric actuators in
micro-positioning applications, a common limitation is nonlinearlity, hysteresis [23] and creep [24] in displacements
especially under dynamic conditions. Of the numerous solutions proposed to overcome this issue, particularly appealing
are ones that exploit the concept of self-sensing [25–30] of
piezoelectric materials because they allow for miniaturization.
Broadly, the methods for self-sensing fall into the category
of voltage or current feedback [31], charge compensation
[23, 32], permittivity measurement [33, 34], empirical modeling

Piezoelectric bimorph actuators [1] are a popular choice for
driving aerial [2–5], ambulatory [6–10], aquatic [11, 12], and
amphibious [13–15] micro-robotic platforms due to their high
bandwidth [16], high power density [17], and favorable
scaling to small sizes [18]. However, the lack of reliable
motion sensors makes closed-loop control of these actuators
in a servomotor-like scheme challenging. Current strategies
for controlling such actuators typically involve tuning the
applied voltage in an open-loop fashion, or closing the loop
via measurements obtained from off-board sensors, including
motion capture systems [4] or ﬁberoptic motion detectors
[19]. However, for successful autonomy in real-world conditions, none of these options are ideal, necessitating the need
0964-1726/18/065028+12$33.00
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Figure 1. (a) Optimal energy density piezoelectric bimorph actuators

of various sizes, and three different microrobots utilizing them—(b)
HAMR (reproduced with permission from [7] by SAGE Publications, Ltd), (c) Centipede inspired robot (© 2012 IEEE, reprinted,
with permission, from [6]), and (d) RoboBee [4] (reprinted with
permission from AAAS).

[35, 36], or a combination [37, 38]. However, most of these
techniques have been shown to be useful only in band limited
frequency ranges and require additional hardware. A related
self-sensing approach involves isolating a portion of the
actuator as an embedded sensor [39], but this results in less
efﬁcient actuation and is not ideal for microrobotic applications.
As such, no general approach for sensing the motion of
piezoelectric actuators that is effective over the entire
operational bandwidth and is robust to signiﬁcant external
loading changes has been demonstrated to the best of our
knowledge.
In this paper, we present a concomitant sensing methodology for piezoelectric bending bimorph actuators that is
capable of determining velocity across their operating bandwidth. In section 2, we develop an electrical model of the
piezoelectric actuators used in this study, and describe how it
enables the proposed solution. We detail our experimental
setup used to test and characterize the actuators in section 3.
We then present our results that demonstrate the effectiveness
of this technique across voltages ranging from 25 V to 200 V
and frequencies ranging from 1 Hz to 2000 Hz (up to and
beyond resonance) with three different sized piezoelectric
bending bimorph actuators (ﬁgure 1(a)) in section 4. We
provide a theoretical basis for our sensing methodology in
section 5. We then apply this method to two microrobots that
utilize piezoelectric actuators—Robobee [4] and HAMR [7],
and successfully demonstrate its utility in appendage trajectory tracking and control in section 6. We conclude by
summarizing our results and listing potential future directions
in section 7.

Figure 2. (a) Physical model of a bimorph piezoelectric actuator.

(b) Drive conﬁguration for the actuator. (c) Lumped parameter
electrical model of a piezoelectric actuator.

which are ideal for applications requiring strain ampliﬁcation
for large displacements. Each actuator in ﬁgure 1(a) is a
composite laminate consisting of two piezoelectric ceramic
(PZT-5H, Piezoceramics Inc.) layers with nickel electrodes
bonded to a central conducting carbon ﬁber layer, with alumina tips at both ends (ﬁgure 2(a)). These actuators are fabricated via a custom prestack manufacturing process [1] to
maximize energy density and durability.
Previous studies [40–44] have demonstrated that a
piezoelectric element can be represented with an equivalent
electrical circuit model whose impedance reﬂects the dielectric and mechanical properties of the actuator and its load.
By the same logic, such an equivalent circuit model can be
extended to adequately represent a single piezoelectric layer
in a bimorph or the entire actuator itself. As with earlier
studies, the dielectric domain of the actuator in this work is
represented as a complex impedance, which is equivalent to a
capacitor (C) in parallel with a resistor (R). Both these electrical components are modeled to vary with the voltage and
frequency of operation. The mechanical properties of the
actuator have been previously represented by either a lumped
element model [16] or distributed model with linear and/or
nonlinear circuit elements [42]. However, for this study, we
reduce the mechanical domain to a single lumped element—a
current source, and hypothesize that its output, i.e. current due
to motion, hereafter referred to as mechanical current Imech, is
proportional to the actuator velocity (v, ﬁgure 2(a)), an idea
popular in self-sensing literature [25].
Applying Kirchoff’s law to the above electrical model
(ﬁgure 2(c)), the total current drawn by the actuator can be

2. Actuator electrical model
While piezoelectric actuators are available in many conﬁgurations, including stacks, unimorph and bimorph cantilevers,
the actuators described in this paper are bending bimorphs
2
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represented mathematically by:
Iact (t ) =

2Vsig (t ) - Vbias
2R (Vbias, w )
+ Imech (t ) ,

+ C (Vbias, w ) V˙sig (t )

where, Imech (t ) = K (Vbias) v (t ).

(1 a )
(1 b )

Thus, we propose that a solution for encoding the motion
of piezoelectric actuators is the determination of the
mechanical current, Imech, by measuring the current drawn
(Iact), the dielectric properties (R (Vbias, w ), C (Vbias, w )), and
the possible voltage dependence of K (Vbias ) due to the nonlinearity of the piezoelectric coefﬁcient [1]. The experimental
determination of dielectric actuator properties at varying
voltages and frequencies is one of the main contributions of
this work that differentiates it from previous self-sensing
research.

3. Characterization of dielectric properties
We used the experimental setup in ﬁgure 3(a) to verify our
actuator model and determine Imech. It consists of a custom
mount to clamp one end of the actuator while allowing its
other end to freely vibrate as a cantilevered beam. The
velocity of the tip of the actuator is measured using a laser
doppler vibrometer (PSV500, Polytec Inc.).
The actuators are operated in unipolar simultaneous drive
conﬁguration [16] where a constant high-voltage bias is applied
across the actuator and a unipolar drive signal is applied to the
central carbon ﬁber layer (ﬁgure 2(b)). For this purpose, a low
voltage bias is generated using a DC power supply, while the
unipolar drive signal, a sinosoid at the desired frequency and
voltage magnitude (half-bias) and offset (half-bias) is generated
from the vibrometer. These are then ampliﬁed through a set of
high voltage ampliﬁers (PZD350A, Trek Inc.) before being fed
to the actuator via a current measurement circuit (ﬁgure 3(c)).
The current measuring circuit consists of a shunt resistor (Rs) in
series with the actuator along with voltage divider resistors
(R1=10 MΩ, R2=150 kΩ) on either side of the shunt to
reduce the high voltage for an analog to digital converter. An
op-amp (MCP6024, Microchip Technology Inc.) voltage follower circuit is used to buffer the signals from actuator load. We
found that a shunt resistance of 10 KΩ provides sufﬁcient
resolution in the operating range of the actuator and was used
for all our experiments. The total current drawn by the actuator
is calculated from the voltage drop across the shunt resistor.
We characterized three sets of actuators (ﬁgure 1(a))—
(Type I) large HAMR (n=2), (Type II) small HAMR
(n=6) and (Type III) Robobee (n=4) over bias voltages
ranging from 25 V to 200 V in 25 V increments and frequencies ranging from 1 Hz to 2000 Hz with 0.1 Hz resolution. All tested actuators were trapezoidal in shape with
varying sizes (areas) and manufactured using the prestack
manufacturing process [1] with the same materials. Their
physical dimensions are listed in table 1. As all actuators
show the same trends, the plots in sections 3 and 4 represent

Figure 3. (a) Experimental setup used to characterize actuators.

(b) Inset of the actuator in ﬁxed (left) and free (right) state
respectively. (c) The electrical circuit used to measure actuator
current. The actuator electrical model from ﬁgure 2(b) is highlighted.

Table 1. Physical Properties of Actuators—w1 and w2 are the widths
at the tip and base respectively; l is the length of piezoelectric
material; A is the active piezoelectric area; fr is the unloaded resonant
frequency; the total actuator thickness is 320 μm; and the single PZT
layer thickness is =135 μm.

Type

w1
(mm)

w2
(mm)

l
(mm)

A
(mm2)

fr
(Hz)

I
II
III

1.35
1.75
0.5

7.75
5.25
1.75

10
9.2
9

45.5
32.2
10.1

1400
1750
1020

data from small HAMR (Type II) actuators only, for convenience of analysis.
In order to determine the dielectric properties of the
actuator, we ﬁxed (i.e., completely immobilized, ﬁgure 3(b))
3
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Figure 4. Dielectric characterization of ﬁxed Type II actuators. (a) Magnitude and (b) phase of the current (Iact) drawn by the actuator in ﬁxed
state are plotted as a function of frequency at four different bias voltages—50 V (green), 100 V (orange), 150 V (blue) and 200 V (pink)
(n=6 actuators, N=120 trials). The mean magnitude (a) increases linearly with frequency and can be approximated by straight line ﬁts as
shown by the bold trace. As expected, the actuator current increases with increasing voltage for a given frequency. The mean phase
(b) rapidly increases from near zero to about 90° within 50 Hz (left inset) and settles to a relatively constant value dependent on the voltage
(right inset) for the rest of the frequency range. (c) Resistance and (d) capacitance of the actuator in ﬁxed state as a function of frequency at
four different bias voltages—50 V (green), 100 V (orange), 150 V (purple) and 200 V (pink) (n=6 actuators, N=120 trials). The mean
resistance and capacitance (shown as solid lines) at a given voltage decrease with increasing frequency. Similarly, for a given frequency, the
mean resistance and capacitance decreases with applied voltage. The shaded region in each case represent ±1 s.d. conﬁdence interval.

the actuators by encasing them in epoxy (E-60HP, Loctite
Inc.), similar to the approach used in [45]. To determine the
frequency response of the ﬁxed actuator, we excited it electrically with a band limited (1–2000 Hz) white noise signal
with RMS amplitude and offset equal to half the bias voltage.
In this conﬁguration, referred to as ﬁxed hereafter, the
contribution of the mechanical current source (equation (1a))
is ideally zero (Imech=0) because the actuator is physically
prevented from bending. Therefore, the total current drawn by
the actuator must be attributed entirely to the dielectric
characteristics of the actuator (and possibly any mechanical
motion that may be not blocked; see section 5). The signals
(voltages before and after the shunt resistor) read by our
data acquisition system are output as complex numbers
representing the data in frequency domain. Therefore,
equation (1a), reduces to
Iact =

Vsig - Vact
Rs

-

Vact
V
= act ,
R1 + R2
Zact

Real

C=

,

(3 b )

( ).

(3 c )

( )
1
Z act

Imaginary
w

1
Z act

The expected value of capacitance (2 0 r A d ) computed
using the relative permittivity (òr) values of PZT-5H from the
manufacturer’s datasheet and the physical dimensions (A) of
the actuator (table 1) is about 16 nF, which is more than twice
our experimentally determined values. This is expected
because much of the effective capacitance of piezoelectrics
below resonance is due to charge generated via the direct
piezoelectric effect, which is reduced in our case by ﬁxing in
epoxy. MT Ceramics, another PZT manufacturer and supplier, report similar differences between free and ﬁxed capacitance [46].
We found that the measured resistance and capacitance
both decreased with increasing frequency and voltage
(ﬁgure 4). In order to parametrically capture this variation, we
ﬁt the experimental data using the following empirical relationships (equations (4a) and (4b)).

(2 )

where Vsig (voltage before shunt) and Vact (voltage after shunt
as indicated in ﬁgure 3(c)) are complex valued signals and
Zact is the complex dielectric impedance of the actuator. The
magnitude and phase of the actuator current (Iact) relative to
the drive voltage (Vact) is shown in ﬁgures 4(a) and (b),
respectively.
By equating the real and imaginary parts on both sides
(equation (3a)), we obtain the value of the resistance (R;
equation (3b); ﬁgure 4(c)) and capacitance (C; equation (3c);
ﬁgure 4(d)) of the actuator:
1
1
=
+ j wC ,
Zact
R

1

R=

Rfit = KR1

Cfit = KC1

(3 a )

4

1+

w
wC1

1+

VR1
V

w
wR1

+

1+

w2
wR2

(1 - ) - K

1+

V
VC1

w
wC 2

,

⎛

C 2 ⎜1

⎝

(4 a )

+

V ⎞
⎟V.
VC 2 ⎠

(4 b )
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The above empirical relationships were designed to have
the fewest parameters for ease of computation and onboard
implementation on microrobots while ensuring high quality
ﬁts (R2>0.99). The above ﬁt coefﬁcients are listed in
table 2. The coefﬁcient KR1 scales inversely with the area (A)
of the PZT plate in the actuator (as expected of a resistor) and
~
hence the area normalized coefﬁcient KR1 is computed
(equation (5a)) and reported in table 2. Similarly, KC1 and
KC2 scale with the area (A) of the PZT plate in the actuator (as
expected of a capacitor) and hence, their corresponding area
~
~
normalized coefﬁcients, KC1 and KC2 are computed
(equation (5b)) and reported in table 2. The remaining coefﬁcients are independent of the physical characteristics of the
actuator.
~
KR1 = KR1A

(5 a )

K ~
K
~
KC1 = C1 KC1 = C1
A
A

(5 b )

Figure 5. Blocking factor application. (a) RMS magnitudes of the
sensor current (mA) and measured velocity (m/s) for a representative
trial across the frequency range at 20 V are drawn as blue and red
traces respectively. (b) Phase (◦) of the sensor current and measured
velocity for the above representative trial is drawn as blue and red
traces respectively. The blue dotted trace indicates that the sensor
current (Imech, equation (6)) deviates from the measured velocity when
directly computed using the measured dielectric actuator impedance .
To overcome this issue, a blocking factor (β) is introduced and the
corrected sensor current (Isen, equation (7)) in the solid blue trace
corresponds well with the velocity both in magnitude and phase.

The high quality ﬁts from the above empirical relationships allow us to interpolate the dielectric impedance of an
actuator at frequencies and/or voltages that were in our
operating range but not measured experimentally.

The mechanical current (Imech) as computed above predicts
the frequency of resonance well (ﬁgure 5). However, the shape
of the current magnitude is skewed when compared to measured velocity magnitude. Similarly, the computed phase
compares well around the frequencies close to resonance but
diverges at frequencies at either end of the measured spectrum.
We suspect that this error is a result of blocking strains in the
ﬁxed state that do not contribute to the tip velocity of the
actuator (see section 5). In order to correct for this, we introduce
a scalar coefﬁcient called the blocking factor (β) which is
multiplied to the measured capacitance resulting in the following sensor model below:

4. Sensor model and validation
Before estimating velocity using our sensing approach, we
determined the motion of the free (i.e. unconstrained)
actuators by measuring their tip velocities with a laser
doppler vibrometer using the setup shown in ﬁgure 3(a). As
expected, at low frequencies, the phase of the velocity lags
that of the actuator voltage by 90°. As frequency increases,
the magnitude of the velocity increases slowly while its
phase decreases gradually. However, as the actuator
approaches its (high Q factor) mechanical resonance, these
changes are rapid with velocity peaking around 1750 Hz
accompanied by a rapid phase decrease (≈90°). Post-resonance, the velocity magnitude is greatly diminished and the
phase lags the applied voltage by nearly 270°, characteristic
of a second order dynamic system. In order to prevent the
failure of actuators by cracking due to large oscillations
near resonance, tests on free actuators were limited to bias
voltages below 100 V.
After determining the dielectric impedance (equations (4a)
and (4b)) of the actuator from the ﬁxed state measurements in
the previous section, we use equation (1a) to obtain our sensor
signal i.e. mechanical current (Imech) when the actuator is in
motion (i.e. free state) as follows:

Imech (t ) = Iact (t ) -

2Vact (t ) - Vbias
- Cfit V˙act (t ).
2Rfit

Isen (t ) = Iact (t ) -

2Vact (t ) - Vbias
- bCfit V˙act (t ).
2Rfit

(7 )

The value of the blocking factor is chosen as the number
which minimizes the net phase (Φ) difference between the
measured velocity (vmes) and sensory current (Isen) across the
entire frequency range of operation for the actuator in the least
squares sense and determined by:
minimize, ∣∣F (vmes∣Vact ) - F (Isen∣Vact )∣∣2 .
b

(8 )

It must be noted that the phase (Φ) here and hence after,
is computed with respect to the drive signal (Vact) in each
case. Figure 5(b) indicates that using the optimal blocking
factor (βopt) in equation (7) results in a sensor current whose
phase closely matches that of the measured velocity. Additionally, the magnitude of the sensor current now better tracks
the actuator velocity (ﬁgure 5(a)) as well. Thus, we obtain our

(6 )

5
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Table 2. Parameter ﬁt for dielectric properties of actuators.

Mean
±s.d.

~
KR1
(MΩ/m2)
(x105)

VR1
(V )
(x10)

ωR1
(rad/s)
(x102)

ωR2
((rad/s)2)
(x107)

~
KC1
(nF/m2)
(x105)

~
KC2
(nF/m2)
(x10−5)

VC1
(V )
(x103)

VC2
(V2)
(x10−4)

ωC1
(rad/s)
(x103)

ωC2
(rad/s)
(x103)

2.65
0.15

2.51
0.11

4.65
0.49

1.25
0.08

2.41
0.38

2.36
0.08

1.43
0.06

1.45
0.39

1.91
0.07

1.67
0.17

piezoelectric sensor model (equation (9)) that estimates the
actuator tip velocity (vsen) at any given voltage and frequency
within the operational range.
vsen (t ) = a (Vbias) Isen (t ) ,
2V (t ) - Vbias
= a (Iact (t ) - act
- bopt Cfit V˙act (t )).
2Rfit

coefﬁcients (internal stress produced per unit electric ﬁeld, or
charge density produced per unit strain) that may vary with
electric ﬁeld (ξ) and resulting material strain (òi). This formulation ignores contributions from shear deformations.
Imech = A ( f31 ˙1 + f32 ˙ 2 + f33 ˙ 3).

(10)

The frequencies that we explore are well below the
resonances of the 1, 2, and 3 direction expansion or contraction (see ﬁgure 2 for coordinate axis deﬁnition) and the
2-direction bending, but will include that of the 1-direction
bending. Thus, we assume that ò2 and ò3 are in phase with V.
This means that the charges generated by these deformations
behave electrically like capacitances for all frequencies of
interest. This results in the following expression for
mechanical current:
˙
Imech = A ( f31 ˙1) + (C2 + C3) V.
(11)

(9 )

The velocity scaling coefﬁcient (α) is a scalar that converts current into velocity and expected to vary as a function
of the bias voltage (Vbias). Section 5 provides the theoretical
prediction of α and its voltage dependance.
Figure 6 reveals that the sensor computed actuator
velocity (vsen, equation (9)) matches closely with the vibrometer measurements both in magnitude (ﬁgure 6(a)) and
phase (ﬁgure 6(b)) validating our sensor model. To quantify
the accuracy of our sensor model, we calculated the
percentage error in the velocity magnitude (ﬁgure 6(e)) and
phase (ﬁgure 6(f)) estimates. We did not observe any voltage
dependence of the errors or signiﬁcant variations between
individual actuators, and hence, data across all voltages for all
actuators (Type II) is combined and represented in ﬁgure 6 as
a function of the operating frequency. The mean phase error is
small (10% or less) across the entire frequency spectrum
indicating that our choice of the optimal blocking factor is
effective, with the highest accuracy around frequencies close
to resonance. Similar trends are observed with the velocity
magnitude estimates as well. At low frequencies, we measure
the highest errors likely due to the low signal to noise ratio at
these conditions in our measurements. This will be addressed
in the future by having larger shunt resistors for probing low
frequencies of interest depending on application speciﬁc
needs. Further, we found that the velocity scaling coefﬁcient
has a weak dependence on voltage (as expected, see justiﬁcation in next section), decreasing slightly with increases in
voltage (ﬁgure 6(c)). The optimal blocking factor was determined to be independent of the voltage and frequency
(ﬁgure 6(f)), allowing us to use a single numerical value for
the entire actuator operational range.

Thus, for the case of a generic piezoelectric beam, the
total current drawn (Imes) is composed of current due to its
dielectric properties (R, C) and that due to motion (Imech).
V
+ CV˙ + Imech ,
R
V
= + (C + C2 + C3) V˙ + A ( f31 ˙ ).
R

Imes =

(12)

In our experimental setup, we have a bimorph actuator
i.e. two piezoelectric plates (a and b), one contracting while
the other is expanding, and vice-versa. Therefore, we adjust
the above expression for the predicted net current drawn by a
freely moving bimorph actuator i.e. the current measured
through the shunt (see ﬁgure 3(c)) as:
2Vact (t ) - Vbias
+ (C + C2a + C2b) V˙act (t )
2R
a a
b b
+ (C3a + C3b) V˙act (t ) + A ( f31
˙1 (t ) - f31
˙1 (t ))
2Vact (t ) - Vbias
~
~ ˙
=
+ (C + C2 + C3) Vact (t )
2R
+ 2Af31 ˙1(t ) ,

Iact (t ) =

(13)
~
~
where, C2 and C2 are effective capacitances in the 2 and 3
directions, and 
f31 is the mean force coefﬁcient from both
piezoelectric plates.
Since ̇1 is zero in the ﬁxed conﬁguration, we can determine the dielectric properties, i.e. resistance (R) and the net
~
~
capacitance (Cfixed = C + C2 + C3), of the actuator (as in
~
~
section 3). Ideally, C2 and C3 would not change from the
free to ﬁxed bimorph conﬁguration and therefore, the net
capacitances in both conﬁgurations would be the same

5. Theoretical justiﬁcation of sensor model
Here, we describe the theoretical framework that explains the
functioning of our self-sensing actuators. The magnitude of
the current due to mechanical motion (Imech) for the general
case of a single piezoelectric element for an applied voltage
(V ) can be predicted using equation (10) with the convention
from Jafferis et al, [18] where, f3i represent piezoelectric force
6
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Figure 6. Sensor model validation. (a) RMS magnitude of velocities estimated from our sensor model (solid lines) compared to direct

measurements (dotted lines) using the vibrometer for a single free actuator across the frequency range at three different bias voltages—20 V
(green), 60 V (orange) and 100 V (purple). (b) Phase of velocity computed with respect to the actuator voltage. Sensor estimates (solid lines)
are compared to vibrometer measurements (dotted lines) for the above conditions. The velocity estimate closely matches the direct
measurement validating our sensor model deﬁned by equation (9). (c) The variation of experimentally determined velocity scaling coefﬁcient
(α) is depicted as a function of the bias voltage (Vbias) for free actuators. The value of α shows a weak voltage dependence suggesting nonlinear actuator behavior similar to the theoretical estimate (gray dotted line). (d) Percent errors in magnitude of estimated actuator velocity.
(e) Percent error in phase (computed with respect to the actuator voltage) of estimated actuator velocity. In each case, the mean percent error
is depicted as a black line and the outer traces (in gray) represent ±1 s.d. for all actuators for all the voltages tested. The phase and magnitude
errors are reasonably small for the majority of the frequency range indicating that our model is a good predictor of actuator velocities in our
measurement range. (f) The variation of the experimentally determined optimal blocking factor (βopt) is depicted as function of the bias
voltage for free actuators. βopt shows no dependence on actuator voltage.

Finally, by reorganizing equation (13), we obtain the
bending strain rate (̇1) of the actuator as,

(Cfree=Cﬁxed). In practice, however, 2-direction bending is
likely restricted considerably in our ﬁxed sample preparation.
Similarly, it might be partially restricted even in a free
bimorph, due to the rigid alumina at the actuator base and tip.
Therefore, we approximate this situation by introducing the
blocking coefﬁcient (β), which is allowed to vary with electric
ﬁeld.
Cfree = bCfixed .

˙1(t ) =

Iact (t ) -

2Vact (t ) - Vbias
2R

- bCfixed V˙act (t )

2Af31

.

(15)

To convert strain rate (̇1) to velocity (v),
v (t ) =

(14)

Ideally, β would be unity. However, in reality, it is challenging to obtain an exact theoretical expression for β; therefore,
β is determined experimentally (as in section 4). This key
simpliﬁcation (equation (14)) is the basis for the sensor model
formulation in equations (7) and (9). In the future, we hope to
have an improved experimental ﬁxed setup (possibilities
include bonding unidirectional carbon ﬁber frame to the
outside of the actuator) which only restricts 1-direction strain,
thus eliminating the need for ﬁtting β.

2
LPZT
ò

2tPZT + tCF 1
dy
y

tCF

2tPZT

˙1(t ).

(16)

Thus, by combining equations (15) and (16), we obtain
the theoretical derivation for our sensor model as
v (t ) = a (Iact (t ) -

2Vact (t ) - Vbias
- bCfixed V˙act (t )) ,
2R
(17a)

where, a (Vbias) =

7

2
LPZT
ò

2tPZT + tCF 1
dy
y

tCF

4Af31 (Vbias) tPZT

.

(17b)
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Equation (17a) is equivalent to equation (9) used to
estimate actuator velocities experimentally. Further, computing α for our actuators (Type II) from equation (17b) yields a
value ranging from 650 m/As to 450 m/As under our operating conditions (20 V–100 V), which is similar to the
experimentally determined values (ﬁgure 6(c)).

6. Microrobot applications
After successfully encoding the motion of an unloaded free
actuator, we apply our sensing methodology to actuators
integrated with transmissions and appendages in two microrobotic systems—RoboBee and HAMR. These transmissions
subject the actuator to varying external loads (e.g. varying
stiffness and inertia) and thereby affect its mechanical behavior for the same input drive relative to its unloaded condition. Here, we show that despite different mechanical
operational conditions, our sensing methodology is successful
in trajectory tracking and closed loop control, two particular
challenges critical for enabling autonomous locomotion of
microrobots.

Figure 7. Wing trajectory estimation in Robobee. (a) The wing

stroke angle calculated from camera tracking of high speed video
(dashed) and the proposed sensor methodology (solid) as a function
of ﬂapping cycles for a 150 Hz trial at two voltages 100 V (blue) and
200 V (red). The corresponding solid and dashed traces are in close
agreement indicating that our sensor provides an accurate estimate of
the robot’s wing stroke angle. (b) Close up image of a Robobee.
(c) Amplitude of the Robobee’s wing stroke (°) as a function of the
ﬂapping frequencies ranging from 30 to 270 Hz at two operating
voltages—100 V (blue) and 200 V (red). The dark solid traces
indicate the mean wing stroke amplitude estimated by our sensor
across 10 cycles while the lighter outer traces indicate ±1 s.d. The
dots which represent the stroke amplitude computed from camera
motion tracking match the sensor estimates. For both operating
voltages, the wing stroke amplitude increases with ﬂapping
frequency until transmission resonance and decreases after.

6.1. Appendage tracking with RoboBee

The RoboBee [4] is an insect scale (1.5 cm long, 3.5 cm
wingspan), biologically inspired ﬂapping wing micro aerial
vehicle, weighing under 100 mg (ﬁgure 7(b)). Powered by
two piezoelectric actuators that independently drive its left
and right wings, the RoboBee has successfully demonstrated
the ability for forward lift, vertical take-off and landing,
hovering at ﬁxed height and rapid turning. In order to
operate the Robobee effectively and recover from potential
perturbations such as collisions, changes to wind conditions
etc., it is extremely beneﬁcial to know the position of its
wings in real time. While off-board solutions like motion
capture systems [4] or onboard solutions like inertial measurement units [47], are good at localizing body position and
orientation, we do not yet have an effective solution,
onboard or off-board, for determining the wing positions in
real-time.
To address this limitation, we apply our sensing methodology to successfully track a wing of the Robobee. For this
experiment, we use a Robobee prototype with a single wing
transmission attached. While holding the body ﬁxed, we
ﬂapped the wing with constant amplitude sinusoidal signals
at 10 different frequencies ranging from 30 to 270 Hz and
tracked the wing motion using a high speed camera while
simultaneously monitoring the actuator current using the
previously discussed experimental apparatus (ﬁgure 3(c)).
Using the physical (table 1) and dielectric properties (table 2)
for the Robobee actuator in equation (9), we compute the
actuator tip velocity. We integrate the same to obtain actuator
position, which when multiplied with the effective transmission
ratio (Teff=4000 rad/m, [48]), yields us the wing stroke
angle. Figure 7(a) shows a close matching of the wing stroke
angles measured by our sensor with the same from tracking the
wing (ProAnalyst, Xcitex Inc.) using high speed videography

(Phantom, Vision Research Inc.) for two representative trials
(150 Hz frequency at 100 V and 200 V respectively). Extending
this approach, we ﬁnd that, our sensor methodology accurately
estimates the wing stroke amplitude at two different voltages
across the entire frequency range including at ﬂapping resonance (ﬁgure 7(c)). Thus, using our approach, we can identify
and potentially operate the Robobee at it’s most efﬁcient mode
i.e. close to resonance frequency.
In the future, wing positions (and velocities) extracted
using this technique can potentially aid control of wing
motion while ﬂying through turbulent conditions in air,
through complex environments with probability of wing
collision [49], or while transitioning across ﬂuid media such
as air to water or vice versa [14].
6.2. Closed loop trajectory control with HAMR without ground
interference

HAMR [7], currently in its sixth generation [50], is a 4.51 cm
long, 1.43 g quadrupedal microrobot (ﬁgure 1(b)). It is capable of achieving a maximum forward velocity of approximately 0.5 ms−1 at a pre-resonant drive frequency of 65 Hz on
level ground and can climb up inclines nearing 22°. Each leg
8
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Figure 8. Closed loop control on a single leg of HAMR. (a) RMS magnitude of actuator position at 40 V drive voltage as a function of

frequency (0–120 Hz). (b) Phase of actuator position with respect to drive voltage. From (a) and (b), we ﬁnd that the estimates from our
sensor technique (red) corresponding closely with that directly measured from a Philtec motion sensor (blue) over the entire range of the
transmission operation. (c) Lift trajectory. The desired (gray) and sensor measured (blue) trajectories for the robot foot plotted as a function of
the number of leg cycles. (d) Lift trajectory. The desired (gray) and sensor measured (blue) trajectories for the robot foot plotted as a function
of the number of leg cycles. (e) Close up of a HAMR single leg. (f) Ineffective foot trajectory (gray) during open loop operation at 100 Hz.
The same is corrected to obtain ideal foot trajectory (green) by closing the loop on phase using sensor feedback. (g) Phase error between the
desired and the controlled trajectories against the number of leg cycles. The tan region indicates the cycles where the estimator is converging.
The grey region indicates the open loop (no controller) cycles where phase error is a constant value, about 180° and 270° for lift and swing
modes of actuation respectively. The white region indicates the cycles under action of the controller trying to minimize the phase error. The
green region indicates the cycles where the controller has successfully reduced the phase error to within 5°.

sinosoidal chirp signal with peak-to-peak voltage magnitude
of 40 V to the swing actuator and measured its current draw
using our experimental setup described in ﬁgure 3(c).
Simultaneously, we tracked the tip of the actuator using a
Philtec ﬁber optic motion sensor as detailed in [19]. Using the
physical (table 1) and dielectric properties (table 2) for the
HAMR actuator in equation (9), we obtained the swing
actuator tip velocity and integrated the same to calculate
actuator position (ﬁgures 8(a)–(b)) using the scheme in [19].
The computed position compares well with the motion measurements from the Philtec sensor indicating that our methodology, without any modiﬁcations to sensing scheme or
parameters, is successfully able to track the motion of the
actuator, despite the change in mechanical load, as with the
Robobee wing. The actuator phase (ﬁgure 8(b)), computed
with respect to the drive signal, shows negligible lag for
frequencies well below 100 Hz, but rapidly decays past that to
reach a steady 180° lag for higher frequencies indicating
transmission resonance (complemented by a magnitude peak)
around 100 Hz.

of the robot is driven by two actuators controlling the lift
(normal) and swing (fore-aft) motions respectively. The lift
and swing transmissions each behave like second order
mechanical systems [19], and therefore, operating at frequencies approaching transmission resonance (80Hz for lift
and 100 Hz for swing) results in phase lags (ﬁgure 8(b))
between the (desired) drive signal and (actual) foot position.
This leads to ineffective foot trajectories (ﬁgure 8(f) in gray)
and consequently poor robot running performance. We have
previously (see [19] for detailed discussion) shown that it is
sufﬁcient to know the phase lags in order to correct for the
foot trajectories as actuator position is a good proxy for foot
location. This enables us to apply our sensor methodology to
compute phase differences between the desired and current
position, and use it as feedback for closing the loop for
recovering ideal foot trajectories.
To demonstrate the above, we use a single leg prototype
of HAMR (ﬁgure 8(e)). The body of the robot is rigidly
mounted onto a heavy base while the foot is free to circulate
in air without ground interference. In order to validate our
sensor, we applied a band limited (1–130 Hz) eight second
9
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Having successfully tracked the actuator position for
periodic locomotion, we extend the application of our sensor
methodology to control foot trajectories near resonance. In
order to achieve the same, we ﬁrst computed the foot lift and
swing positions by measuring their respective actuator positions and multiplying them by their respective transmission
ratios (Tswing=13, Tlift=12, [51]). We then computed the
phase with respect to the drive signal and used the same as
feedback for controlling the HAMR foot trajectory at a ﬁxed
frequency (100 Hz) near swing transmission resonance
(ﬁgure 8(c), (d)) using a PID scheme to obtain ellipsoidal foot
trajectories, previously determined to be effective for locomotion [50]. The phase determination procedure and control
scheme are identical to that in [19], except that the position
feedback is now obtained from our sensor method eliminating
the need for external sensors used previously. We observe
that without control i.e., for open loop operation, the measured foot positions (lift in ﬁgure 8(c) and swing in
ﬁgure 8(d)) lag their desired positions (180° for lift and 270°
for swing, ﬁgure 8(g)) resulting in effective open loop trajectory (ﬁgure 8(f)). However, with a PID control loop acting
on each degree of freedom, the phase error between the
current and the desired trajectories rapidly decreases to within
5° is less than 25 cycles i.e. 250 ms resulting in effective
ellipsoidal foot trajectories (ﬁgure 8(f)). In the future, we aim
to tune the controller gains better to have faster convergence
for applications related to real-time robot control in the presence of perturbations such as ground collisions, foot slippage etc

microrobot and use the sensor position information as feedback
to control the leg trajectory of an ambulatory microrobot. A
novelty of our approach that makes it particularly appealing for
high-speed applications in microrobotics is the ability to encode
motion in real-time with minimal additional electronics and low
overhead computational costs.
We suspect that this approach is not restricted to piezoelectric actuators that are bending bimorphs but can be
extended to in-plane linear or rotatory piezoelectric actuators
and the same will be veriﬁed in the future. Although this work
focuses on piezoelectric actuators, many of the concepts
described here can easily be adapted to other high-voltage
capacitive actuators, such as electrostatic or dielectric elastomer actuators. As our immediate next steps, we plan to
implement this sensor methodology onboard our microrobots
to demonstrate perturbation detection and recovery and progress towards achieving control autonomy in these systems.
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piezoelectric actuators and thereby enable concomitant
operation i.e. simultaneous self-sensing and actuation. Our
approach relies on the experimental characterization of the
dielectric properties of an actuator by ﬁxing it, thus eliminating mechanical motion for a broad range of operating
conditions (frequencies from 1 Hz to 2000 Hz and voltages
from 25 V to 200 V). Further, the determined dielectric
properties are ﬁt by a few parameters that are independent of
the physical dimensions of the actuators. Thus, we can conveniently calculate the dielectric properties of actuators made
of the same materials but not explicitly characterized.
Knowing the dielectric properties of the actuators, we
compute the current generated due to motion (by the direct
piezoelectric effect) in real time and successfully prove our
hypothesis that this mechanical current is proportional to the
actuator velocity. Our estimated actuator velocity is within 10%
of actual measurements. We also demonstrated the robustness
of our sensor methodology by applying it successfully to
actuators connected to transmissions within microrobots, thus
varying the external mechanical load on the system. We were
able to accurately track the motion of the wing of a ﬂapping
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